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Abstract

We present a multiphysics model of the High Temperature Engineering Test Reactor for

comparison with past and predict future loss-of-forced-cooling (LOFC) experiments. The approach

selected combines (1) 3-D full-core superhomogenization-corrected neutronics, (2) 3-D full-core

homogenized or semi-heterogeneous heat transfer (macroscale), (3) 2-D axisymmetric fuel rod heat

transfer (pin-scale), and (4) 1-D thermal-hydraulics channels. Although large uncertainties remain,

the time and magnitude of the first power peak after re-criticality is predicted within 1.5 hours and

175 kW, respectively. The novelty of our work includes (1) a new macroscale/pin-scale heat transfer

coupling approach relying on gap conductance to drastically speed up numerical convergence by

two orders of magnitude, (2) determination of a radial effective thermal conductivity, reproducing

the semi-heterogeneous re-criticality time within one hour using a homogenized macroscale model,

and (3) a preliminary study of the reactor’s early behavior following a LOFC event, enabling

further assessment of numerical models against fission power measurements.

Keywords — Multiscale Heat Transfer Coupling, Effective Thermal Conductivity, Reactor Physics

Analysis, High Temperature Engineering Test Reactor, Loss-of-Forced Cooling
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I. INTRODUCTION

The High-Temperature Engineering Test Reactor (HTTR) is a helium-cooled, graphite-

moderated prismatic reactor operated by the Japan Atomic Energy Agency (JAEA). It was de-

signed to aid in safety analyses of high-temperature gas-cooled reactors (HTGRs) [1]. It con-

ducted many experimental tests from 1998 to 2011, at which point it was shut down following

the Fukushima accident, before being restarted in 2021. Of particular interest are three loss-of-

forced-cooling (LOFC) tests, classified as anticipated transients without scram, for which JAEA

has either provided or will be providing experimental data to participating countries under the

Civil Nuclear Energy Research and Development Working Group. Such data are invaluable for

the validation of codes targeting HTGRs as well as gas-cooled microreactors, given HTTR’s low

thermal rated power of 30 MW. The data from the first experiment, performed at 9 MW and

with the vessel cooling system (VCS) operating, were already provided, whereas the data from the

next two experiments—at 30 MW and then at 9 MW, with the VCS turned off—should become

available in the near future (the former has yet to be completed; the latter was performed recently,

but the corresponding experimental data have not yet been provided).

To accurately simulate such unprotected LOFC events and predict the maximum tempera-

tures reached, as well the time at which the reactor again reaches criticality (i.e., the re-criticality

time), followed by the subsequent power evolution, many key phenomena must be appropriately

modeled. These include decay heat, neutron poison evolution, and heat removal by conduction,

convection, and radiation [2]. Thus, numerical simulations require a multiphysics approach cou-

pling neutronics, heat transfer, and thermal-hydraulics. In other works, many different approaches

have been considered for each of these physics. For the neutronics component, prismatic HTGR

models for LOFC simulations include solvers that rely on block-wise point kinetics [2], 2-D axisym-

metric (R-Z) diffusion codes [3], or spherical harmonics (PN) hybrid finite element [4]. For the

conjugate heat transfer, ring models with system codes [5, 4], a 2-D R-Z full-core heat conduction

model with few flow channels [2] or porous media flow models [3, 6], as well as computational fluid

dynamics [7, 8] have been previously considered, as summarized in [9]. High-fidelity calculations

for each physics—as performed in [10, 11]—could constitute another attractive approach if they

can be efficiently extended to transient calculations.

Historically, our approach has been to target the resolution of 3-D effects for both the neu-
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tronics and heat transfer phenomena at the full-core level. Specifically, our previous models used

(1) 3-D full-core superhomogenization (SPH)-corrected neutronics, (2) 3-D homogenized full-core

heat transfer, (3) one representative 2-D R-Z heterogeneous rod per fuel block, and (4) one 1-D

representative thermal-hydraulics channel per fuel and control rod (CR) column [12, 13, 14, 15]. In

this work, we address several important deficiencies of the model in terms of numerical performance

and how well it compared to experimental results:

1. The 3-D full-core heat transfer model (henceforth referred to as the macroscale model) relied

on a homogeneous mesh, but determination of an effective thermal conductivity was lacking.

In this work, we consider a 2-D semi-heterogeneous macroscale model that represents the

graphite blocks heterogeneously but excludes fuel rods and cooling channels, and we predict

an effective thermal conductivity by imposing a heat flux on the boundary of the fuel cool-

ing channels, along with a temperature at the radial periphery of the permanent reflector.

We then compare two macroscale approaches for the LOFC simulation: one using a 3-D

homogenized model with effective thermal conductivity, and another directly using a 3-D

semi-heterogeneous model, yielding reasonably close results but with the computational cost

differing by a factor of 5 or more.

2. The coupling between the macroscale model and the 2-D axisymmetric rod-wise model

(henceforth referred to as the pin-scale or pin-level heat transfer model) exhibited poor

numerical stability, thereby drastically constraining the maximum time step size and leading

to an extremely slow convergence of the steady-state solution. We propose what is, to the

best of our knowledge, a novel approach—one that can be applied to either the homogene-

nous or semi-heterogeneous macroscale model—relying on heat transfer coefficients (HTCs)

for convection and gap conductances in order to model both conduction and radiation heat

transfer, and reducing the cost of the steady-state simulation by about two orders of mag-

nitude. An alternative strategy that was successfully developed for other reactors [16] is to

combine the macroscale and pin-level heat transfer models into a single heterogeneous heat

transfer model, but because this considerably increases the computational resources required,

it is not currently considered in this work.

3. The LOFC simulation results from our previous models exhibited an additional early re-

criticality (i.e., within 30 minutes of the initial event—not many hours later, as had been
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expected) absent in the experimental data [14]. It is not entirely clear whether models from

other institutions contained similar defects, because the early fission power behavior was, to

our knowledge, never closely studied, though results from [2] suggest it was at least observed

(see Section III.C). Thus, the third goal of this work is to investigate which parameters can

affect predictions of such a re-criticality—namely, temperature feedback coefficients and pa-

rameters affecting rod-wise heat transfer. More generally, we believe that this early behavior

is worthy of attention, as it could be utilized to further validate the codes by using the limited

amount of publicly available experimental data. Indeed, most of the data available pertain

to the LOFC fission power evolution and ex-core temperature, which are both susceptible to

error compensation.

The remainder of this paper is organized as follows: first, we give an overview of the nu-

merical model in Section II. Next, we propose and study improvements to the model in Section

III which constitute the novelty of this work. Section III.A presents the novel coupling approach

applicable to the homogeneous and semi-heterogeneous macroscale models, Section III.B describes

the methodology for deriving the effective thermal conductivity for the homogenized macroscale

model, and Section III.C explores the fission power’s early behavior. Finally, we present the post-

experiment (9 MW) and pre-experiment (30 MW) LOFC simulation results in Section IV, and

draw our conclusions in Section V.

II. OVERVIEW OF THE NUMERICAL MODEL

Fig. 1(a) shows the general layout of the core, with 30 fuel, 16 CRs, 12 replaceable reflectors,

and three instrumentation columns, surrounded by a cylindrical permanent reflector (PR). Each

column is composed of nine blocks, 58 cm in height, with the top and bottom two constituting

the axial reflectors. The fuel enrichments and burnable poisons inside the fuel blocks vary both

axially and radially, as summarized in Fig. 1(b). The cold helium flows upward between the reactor

pressure vessel (RPV) and PR, then downward via the cooling channels inside the core. The VCS

serves as the ultimate heat sink during LOFC conditions, with the heat from the RPV being

transferred to it primarily through radiation and natural circulation [2].

We now present an overview of the base numerical model that we worked to improve upon.

A summary of the simulation workflow is provided in Fig. 2: cross sections were first prepared with
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(a) HTTR core layout with fuel (columns 1–4),
control rods (C, R1, R2, R3), replaceable reflec-
tors (RR), and instrumentation (I).

(b) Description of the four different HTTR fuel
columns/stacks (UO2 wt% fuel enrichment /
burnable poison wt% enrichment).

Fig. 1. Overall depiction of the HTTR model. Pictures courtesy of [12].

Monte Carlo, then corrected via a superhomogenization (SPH) procedure. Afterward, the coupled

multiphysics multiscale model was used to solve a steady-state problem in order to provide the

initial condition for the transient LOFC simulation.

The multiphysics simulations were performed using Sabertooth, which consists of the follow-

ing Multiphysics Object-Oriented Simulation Environment (MOOSE)-based applications: Griffin

[17, 18] for neutronics, the heat conduction MOOSE module and BISON [19] for heat transfer, and

RELAP-7 [20] for thermal-hydraulics. The primary motivation for selecting the individual codes

was that they were designed to simulate the physics of interest while being built upon the MOOSE

framework—which facilitates their multiphysics coupling. Other tools could be considered in the

future, such as SAM [21] or Pronghorn [22] which are specifically designed for single phase system

analysis and porous media modelling, respectively.

We now give a summary of each model. This presentation is not meant to be exhaustive,

since a very detailed examination of the models and assumptions can already be found in [15].

II.A. Neutronics

For the Griffin neutronics model, we applied the traditional two-step approach by generating

cross sections for various core conditions before using them in the multiphysics model for both
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Fig. 2. Overview of the simulation workflow.

the steady-state and transient calculations. More specifically, we first depleted a full-core Serpent

[23] model up to a burnup level representative of when the LOFC experiments were—or are to

be—completed (i.e., at around 373 effective full-power days [EFPDs]). We then performed branch

calculations by varying the average fuel and moderator temperatures (i.e., T fuel and Tmod, respec-

tively), while maintaining the axial temperature profiles (determined via a previous version of this

multiphysics model) to generate a tabulated multigroup cross-section library [12], using the energy

group structure shown in Table I. Note that, although the full-core SPH procedure guarantees

an accurate power distribution at state points, the choice of group structure can affect kinetics

parameters [24]. The present one was studied in [25] and compared against experimental data

from the graphite-moderated TREAT reactor, though it may warrant further study. In [15], the

Serpent model compared fairly well against previous benchmark calculations as well as experimen-

tal results, including in regard to such values as excess reactivity, axial neutron flux distribution,

shutdown margin, and axial and radial power distributions.

The evolution of the concentration of the main neutron poison of interest (i.e., Xe-135) during

the experiment was explicitly modeled using the poison tracking capability in Griffin. To achieve
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this, its contribution to the macroscopic cross sections was first removed from the multigroup

library, and the concentrations of Xe-135 and its precursor, I-135, were explicitly tracked during the

transient by using the microscopic absorption cross sections and effective fission yields computed

by Serpent.

In parallel, a 3-D full-core homogeneous mesh (see Fig. 3) was created using the Neutronics

Enhanced Meshing Operations (NEMO) software [26], which interfaces with Cubit [27] and adds

flux detectors to the Serpent input. These reference fluxes were then utilized by the full-core SPH

equivalence procedure within Griffin [28] in order to reproduce, at each state point, the reactor

multiplication factor, power density distribution, and integrated leakage out of the SPH-corrected

regions (provided that all the fuel regions have been corrected for), as proven in [29]. In practice,

for all state points considered in this work, the reference Serpent eigenvalue is reproduced by

Griffin to within 10−5 pcm, and the maximum absolute relative error in power for any SPH region

is below 10−8. The high level of integration between Griffin, Serpent and NEMO was the primary

motivation for selecting Serpent for cross-section and reference fluxes generation.

TABLE I
Energy group upper boundaries for the 10-group structure from [12] used in the neutronics model.

Group Energy (MeV) Group Energy (MeV)
1 2.0010E-08 6 8.1000E-06
2 4.7302E-08 7 1.3270E-04
3 7.6497E-08 8 3.4811E-03
4 2.0961E-07 9 1.1562E-01
5 6.2500E-07 10 4.0000E+01

The multigroup cross-section library was then tabulated with respect to Tmod and T fuel,

expressed in K, with:

• T fuel ∈ {450, 550, 650, 750, 850} and Tmod ∈ {400, 500, 600, 700, 800} for the 9 MW case

• T fuel ∈ {800, 950, 1100, 1250, 1400, 1550} and Tmod ∈ {500, 650, 800, 950, 1100, 1250} for the

30 MW case.

The corresponding fuel and moderator temperature reactivity coefficients are reported in Table II.

Because the LOFCs of interest are unprotected transients, another key aim of the neutronics

model is to account for the three Cf-252 fixed neutron sources present in HTTR. Indeed, the reactor

remains in a sub-critical state for many hours after the initial event, and thus the flux levels shortly
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Fig. 3. Interrelation of the various sub-models and their meshes via a homogeneous macroscale
model. For the semi-heterogeneous macroscale model, the macroscale mesh is given in Fig. 8.

before re-criticality are primarily driven by the intensity of these sources, thus noticeably impacting

the rest of the transient [2]. Given the half-life of Cf-252 (2.645 years), the three 3.7 GBq sources

must be replaced every 7 years [30].

To convert the rate of Cf-252 disintegrations into a neutron source, the following formula is

used:

S = QγSF ν exp(− ln(2)t/τ), (1)

where Q = 3.7× 109 s−1 is the initial Cf-252 disintegration rate of a single source, γSF = 3.09% is

the Cf-252 spontaneous fission probability, ν is the number of neutrons emitted per spontaneous

fission event (assumed to be 3.77 [31]), t is the age of the source, and τ is the Cf-252 half-life.

The energy spectrum, P, of the neutrons emitted by such events is also needed. Assuming

that the spontaneous neutron spectrum is similar to that of a fission reactor [32], and that it can

be modeled using the empirical Watt distribution for U-235 fission [33]:

P(E) = a sinh(
√

2E/E0) exp(−E/E0), (2)
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TABLE II
Fuel and moderator temperature reactivity coefficients (αf and αm, respectively) in pcm/K, as
obtained from the 9 and 30 MW libraries.

9 MW Library 30 MW Library

T fuel Tmod αf αm T fuel Tmod αf αm

450 400 800 500
450 500 -5.94 800 650 -4.05
450 600 -5.96 800 800 -3.90
450 700 -5.77 800 950 -3.57
450 800 -5.15 800 1100 -3.57
550 400 -6.54 800 1250 -3.31
550 500 -6.32 -5.71 950 500 -5.14
550 600 -6.06 -5.71 950 650 -4.90 -3.81
550 700 -5.93 -5.64 950 800 -4.77 -3.77
550 800 -5.74 -4.97 950 950 -4.59 -3.38
650 400 -6.34 950 1100 -4.51 -3.50
650 500 -6.03 -5.39 950 1250 -4.50 -3.31
650 600 -5.90 -5.58 1100 500 -4.76
650 700 -5.69 -5.43 1100 650 -4.53 -3.59
650 800 -5.63 -4.91 1100 800 -4.35 -3.59
750 400 -6.21 1100 950 -4.26 -3.30
750 500 -6.00 -5.18 1100 1100 -4.14 -3.38
750 600 -5.71 -5.29 1100 1250 -4.09 -3.26
750 700 -5.52 -5.24 1250 500 -4.63
750 800 -5.40 -4.79 1250 650 -4.39 -3.35
850 400 -5.89 1250 800 -4.26 -3.46
850 500 -5.60 -4.89 1250 950 -4.15 -3.19
850 600 -5.42 -5.11 1250 1100 -4.04 -3.26
850 700 -5.27 -5.09 1250 1250 -3.96 -3.18
850 800 -5.16 -4.67 1400 500 -4.31

1400 650 -4.14 -3.17
1400 800 -3.94 -3.27
1400 950 -3.81 -3.05
1400 1100 -3.77 -3.23
1400 1250 -3.78 -3.19
1550 500 -4.29
1550 650 -4.14 -3.02
1550 800 -3.97 -3.09
1550 950 -3.91 -2.99
1550 1100 -3.80 -3.12
1550 1250 -3.78 -3.17

where E is the energy (in MeV) of the emitted neutrons, E0 = 1 MeV, and a ≈ 0.48 MeV−1 is

chosen such that: ∫ ∞
0

P(E)dE = 1. (3)
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Fig. 4. Visualization of the location of the neutron sources. (Figure courtesy of [2].)

The fixed volumetric source corresponding to the group of index g is then defined as:

qg =
S

Vblock

∫ Eg

Eg+1

P(E)dE, (4)

where Vblock ≈ 0.0651 m3 is the total volume of a (homogenized) block.

Based on the supposed replacement dates, we estimate, in Table III, the intensity of the

volumetric source applied in the three blocks shown with a blue star in Fig. 4, in the first layer of

fuel underneath the top axial reflector (axial index 3). It is only applied during the transient, since

an eigenvalue calculation with a fixed source has no solution. This is non-problematic because the

volumetric source at the beginning of the transient is completely negligible.

TABLE III
Intensity of the homogenized neutron source in each energy group in 1/(m3-s).

Estimated source
age (yrs)

g = 1 g = 2 g = 3 g = 4− 10

LOFC #1 (9 MW) 4 2.2812E+09 3.9730E+07 2.1548E+05 0
LOFC #2 (30 MW) 6 1.3506E+09 2.3523E+07 1.2758E+05 0

In terms of decay heat, we used Serpent to generate the total decay power as a function of

time by assuming a zero flux after the loss of cooling, then distributed it in the homogenized fuel

blocks proportionally to the steady-state fission power distribution.
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II.B. Thermal-Hydraulics

To greatly simplify the thermal-hydraulics model, we considered independent channels ex-

tending from the top of the upper axial reflector to the bottom of the lower axial reflector. Specif-

ically, a single representative channel for each of the 30 fuel columns (1–4 in Figure 1(a)) and

16 CR columns (C, R1, R2, and R3 in Figure 1(a)) was simulated. In addition, the flow in the

inter-column gaps was neglected, and the bypass flow, defined as the proportion of the total mass

flow rate skirting the fuel cooling channels, was set to a constant value of α = 8%, as was the case

in [3]. In each cooling channel type, the total corresponding mass flow rate was divided equally

across all the channels.

For the thermal-hydraulics model, we considered 46 independent RELAP-7 channels, with

a downward helium flow over the height of the core: one representative cooling channel for each

of the 30 fuel columns and 16 CR columns, as illustrated in Fig. 5. Both use 300 1-D elements.

First, the CR channels were modeled as tubes featuring a constant diameter of 123 mm over the

entire height of the core. This simplification ignores the fact that some CRs should be partially

inserted, or that the 9 and 30 MW cases require insertions at different positions (this is, however,

appropriately modeled in the Serpent input) [34]. Second, for the fuel channels, helium enters a

cylinder whose outer diameter is 41 mm, goes around an inner cylinder whose diameter is 34 mm

(representing the graphite sleeves) over the height of the fuel blocks (excluding the top and bottom

axial reflectors), then recombines at the bottom axial reflector.

The HTCs during the steady-state calculation are automatically computed by RELAP-7,

using closures specifically derived for HTGRs [35].

It is not clear what flow pattern is established during the LOFC experiments, as information

obtained from the literature appears contradictory. For example, [36] describes a residual flow

amounting to 0.3% of the nominal mass flow rate persisting throughout the transient, stemming

from the helium purification system. In addition, the JAEA experimental data exhibit an inlet

temperature consistently lower than the outlet temperature at the bottom of the core, generally

indicating that forced convection is still happening. Nevertheless, another publication by JAEA,

published several years after the 9 MW test, makes no mention of this residual flow, and only

speaks of natural circulation with flow reversal [2]. In the absence of a clear understanding, we

assumed that the cooling channels no longer removed heat during the LOFC simulations. While
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Fuel channelCR channel

Core 
height z

5.22 m

0

D = 123 mm

1.16 m

4.06 m

D = 41 mm

D=34mm

He He

Fig. 5. Left: cross-section view of the Serpent model. Right: description of the RELAP-7 models
for fuel and CR channels. Figure courtesy of [13].

this is a significant assumption, we emphasize that it is independent of the model improvements

studied in Section III.

II.C. Macroscale Heat Transfer

The macroscale model was designed to simulate the 3-D transfer of heat at the full-core level.

This model is supposed to calculate the heat exchange between the fuel rods, cooling channels,

graphite blocks, graphite PR, stainless-steel RPVa, and the VCS, which is modeled through bound-

ary conditions (BCs). (The temperature of the VCS is assumed to remain constant at 300 K during

the steady state and LOFC simulations). Two strategies were considered in regard to modeling

the graphite blocks: a homogeneous and a semi-heterogeneous approach.

II.C.1. Homogeneous Model

This model, illustrated in Fig. 6, represents all the graphite blocks and the holes within them

as a porous medium, with adjusted density. The mesh itself is identical to the neutronics mesh,

as detailed in Fig. 3, with an additional level of uniform refinement and the RPV meshed. An

anisotropic effective thermal conductivity model is derived in Section III.B. All in-core heat source

and sink terms that result from radiation, convection, and conduction from the fluid and the fuel

aNote that we do not currently model the components between the PR and RPV (e.g., the side shielding blocks).
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were applied as volumetric terms, as detailed in Section III.A.3. In particular, the convection terms

were applied as the following volumetric source:

q′′′ = h̃outer (T − Tfluid) , (5)

where Tfluid is the block-averaged fluid temperature and h̃outer is the volumetric outer-wall HTC

(in W/K/m3):

h̃outer =
πDnrods

Sblock
houter, (6)

where houter is the block-averaged outer-wall HTC, nrods is the number of fuel rods or CR holes

in the block, D is the outer diameter of the hole, and Sblock is the cross-sectional area of the

(homogenized) graphite blocks (Sblock =
√

3p2/2, with p being the width across flats). The terms

due to radiation and conduction will be similarly constructed in Section III.A.

Fig. 6. Clipped view of the 3-D homogeneous macroscale heat transfer model. The dark purple
circle represents the VCS, only modeled through boundary conditions. (Figure courtesy of [15].)
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Fig. 7. Semi-heterogeneous mesh (651,240 elements) for the macroscale heat transfer model. To
enable better visualization of the details, only half the mesh displays the actual elements.

II.C.2. Semi-heterogeneous Model

The second option considered in this work is to explicitly mesh the graphite blocks and

exclude the embedded fuel and CR cooling channels. We used the MOOSE reactor module to

create the mesh shown in Fig. 8 [37], and applied all in-core heat source and sink terms as surface

terms (i.e., BCs).

II.D. Pin-Level Heat Transfer

The pin-level heat transfer model consists of one 2-D axisymmetric rod per fuel block, as

shown on the left in Fig. 3. Each rod is composed of an annular fuel compact (in grey in Fig. 3)

surrounded by a graphite sleeve (in red in that same figure), and is separated from the graphite

block by the cooling channel (unmeshed). The block-averaged power density computed by the

neutronics model is scaled and applied to the fuel compact. Heat can then dissipate via conduction

as a result of direct contact between the fuel compact and the sleeve. In addition, radiation
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and conduction through gaps are modeled between the fuel compact and the sleeve (axially and

radially), as well as through the cooling channel. At the radial periphery of the mesh (on the outer

side of the cooling channel), the block- or surface-averaged (within a given block) solid temperature

computed by the macroscale model is applied if the macroscale model is homogeneous or semi-

heterogeneous, respectively. In both cases, we impose it via a pseudo-Dirichlet BC (i.e., using a

Robin BC with a very large HTC that acts as a penalty factor), as was originally done in [38],

so as not to degrade the global energy balance of the pin-scale model. Given the long time scale

characterizing a LOFC event, the TRISO particles are assumed in quasi-thermal equilibrium with

the fuel compact and the fuel temperature is computed as the average fuel compact temperature.

Future work will assess the impact of this assumption.

II.E. Multiscale Multiphysics Coupling

We coupled the neutronics, heat transfer, and thermal-hydraulics models by using the MOOSE

MultiApp system [39]. For the steady-state calculation, the neutronics input solves an eigenvalue

problem for the scalar fluxes, with additional steady-state equations for the poison tracking. After

each solve, the power density is passed to the other applications, which solve a pseudo-transient

(i.e., a transient problem until a thermal equilibrium is reached). There are two main reasons for

this approach: (1) certain applications such as RELAP-7 can only solve time-dependent problems,

and (2) numerical convergence and stability can be drastically degraded if the macroscale heat

transfer time derivative terms are omitted [13]. (Note, however, that omitting the time derivative

terms of the pin-scale model is acceptable, and is used in this step of the model.) Once the pseudo-

transient is completed, moderator and fuel temperatures are passed back to the neutronics, and

this Picard iteration process is repeated until the desired convergence criteria are met. For the

LOFC calculations, the thermal-hydraulics is skipped (as described in Section II.B), and all the

other applications directly solve transient problems by applying two levels of Picard iterations (one

between the neutronics and the macroscale models, and one between the macroscale, pin-scale, and

thermal-hydraulics models).

The data transfer process, summarized in Figure 8, is complicated by the fact that the model

combines 3-D Cartesian homogenized or semi-heterogeneous, 2-D axisymmetric heterogeneous, and

1-D meshes. To attain reasonable energy conservation, most transfers between the macroscale
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Fig. 8. Data transfer in steady state simulations. For the transient calculations, the transfers to
and from the thermal-hydraulics model are omitted.

model and the pin-scale and thermal-hydraulics models are performed by computing the desired

quantities in each block (i.e., in each axial layer and each fuel or CR column).

The data transfer to the macroscale heat transfer model differs from that seen in previous

works in which we relied on heat fluxes from the pin-scale model [14], and will be discussed in

detail in Section III.A.

III. MODEL IMPROVEMENTS

We now present the main novel improvements that were made to the model and that could

potentially extend beyond this particular problem.

III.A. Multiscale Heat Transfer Coupling

III.A.1. Rationale

A previous model (e.g., in [14]) computed the heat flux coming through the outer boundary

of the fuel cooling channels (at the pin level), and applied that heat flux as a volumetric source

in the homogenized macroscale model. Unfortunately, this led to poor numerical stability of

the steady-state solver. The underlying reason for this is because, during a macroscale solve,

the coupling terms coming from the pin-level heat transfer model remain unchanged—since they

are only updated once per Picard iteration—and thus the amount of heat added by the sources
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(whether volumetric or surfacic) is proportional to the time step size, ∆t. Therefore, if a given

location close to these sources is far from thermal equilibrium (e.g., because the transferred heat

flux is not yet converged), the temperature field can drastically change if ∆t is large. In fact,

this is the very observation that motivated the use of pseudo-transients in [13] in lieu of steady-

state calculations (which correspond to the limit ∆t → ∞). Here, we emphasize that even with

a pseudo-transient, the transfer of heat fluxes—at least in the context of a fixed-point iteration

strategy—tends to limit the maximum allowable time step during the pursuit of steady-state

solutions. For this reason, the steady-state problem of the model described in [14] was very slow

to converge (48 hours using 48 processors were not sufficient to fully converge the solution). A

similar motivation led to the selection of (Robin) convective BCs over Neumann BCs in [40].

Indeed, convective-like terms do not act as a constant source, since their intensity changes with

variations in local temperature (see Eq. 5). In similar fashion, a fully heterogeneous heat transfer

approach (i.e., combining the macroscale and pin-level heat transfer models into one fully detailed,

full-core model) with convective-based coupling to thermal-hydraulics was used in [16], without

sparking any convergence issues.

Nevertheless, we estimated that the fully heterogeneous approach was not easily achievable

given the detailed geometry at the rod level, as it likely would have resulted in a mesh with tens of

millions of elements, thus significantly slowing down the calculation. Therefore, we are retaining

the macroscale/pin-scale approach. This approach may remain appealing regardless, considering

the reduced cost of the simulation—especially for cores even bigger than HTTR.

Our first attempt was to define an equivalent HTC, as was done in [40], to model heat transfer

via convection, conduction, and radiation between the macroscale and pin-scale, but our effort was

unfruitful because this HTC did not have any physical meaning and could thus become negative or

arbitrarily large (often leading to unphysical solutions). The breakthrough came when we realized

that heat transfer through a small gap (via conduction and radiation) behaves as a convective

term—the equivalent of the HTC being the gap conductance, which, for that matter, happens to

have the same unit as an HTC. The main difference is that the inner-wall temperature instead

of the fluid temperature acts as the sink temperature. The idea was then to use two distinct

convective terms with two different sink temperatures.
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III.A.2. Semi-heterogeneous Multiscale Coupling

To determine the expression of the gap conductance between the graphite sleeve and blocks,

it is useful to go back to the original expression of radiative net rate between two infinitely long

concentric cylinders [41], as given by:

q =
A1σ(T 4

1 − T 4
2 )

1

ε1
+ (A1/A2)(

1

ε2
− 1)

, (7)

where the subscripts 1 and 2 designate quantities pertaining to the inner and outer cylinders,

respectively; A is the surface area with emissivity ε and local surface temperature T ; and σ ≈ 5.67×

10−8 W/m2/K4 is the Stefan–Boltzmann constant. The heat flux (in W/m2) through the gap via

conduction and radiation is computed in BISON by using the assumption that (A2−A1)/A2 � 1,

thus yielding:

q′′ =
( kg

r ln
r2

r1︸ ︷︷ ︸
conduction

+
σ(T 2

1 + T 2
2 )(T1 + T2)

1

ε1
+

1

ε2
− 1

r1 + r2

2r︸ ︷︷ ︸
radiation

)
(T1 − T2), (8)

where r1 and r2 are the radii of the inner and outer cylinders, respectively—r being the radius

where the heat flux is measured (r = r1 and r = r2 on the inner and outer cylinder, respectively)—

and kg is the gap thermal conductivity. In practice, because the macroscale mesh is not as axially

refined as the pin-scale one, we decided to transfer quantities averaged over each of the five axial

layers containing fuel (see Fig. 1(b)). Our first idea was to define an equivalent gap conductance

hgap,i in each layer i in order to satisfy the following energy conservation equation:

Qi = 2πr2Hblock

(
hgap,i(T 1,i − T 2,i) + hfluid, outer, i,i(T fluid,i − T 2,i)

)
, (9)

where Qi is the heat flux going into the graphite block of layer i, with height Hblock; Tfluid is the

local coolant temperature; hfluid, outer is the outer-wall HTC; and Xi corresponds to the average

of any quantity X over layer i. However, this approach led to numerical instabilities. Instead,

we defined an approximate gap conductance, mimicking in an average sense the one expressed in
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Eq. 8:

hgap,i ≡

 kg,i

r1 ln
r2

r1

+
σ(T

2

1,i + T
2

2,i)(T 1,i + T 2,i)

1

ε1
+

1

ε2
− 1

r1 + r2

2r1

 . (10)

This conductance was transferred to the macroscale model, along with the axially averaged inner-

wall temperatures T 1,i. The heat transfer due to convection, conduction, and radiation was then

applied on the outer boundary of the (unmeshed) fuel cooling channels of the macroscale mesh

(see Fig. 8), as per the following Robin BC:

q′′ = hgap,i

(
T − T 1,i

)︸ ︷︷ ︸
conduction + radiation

+hfluid, outer,i

(
T − T fluid,i

)︸ ︷︷ ︸
convection

, (11)

where T is the local solid temperature of the macroscale model. The same BC, but with the first

term omitted, was applied to the CR cooling channels as well as to the fuel cooling channels inside

the upper and lower replaceable reflector (layers 1, 2, 8, and 9 in Fig. 1(b)).

III.A.3. Homogeneous Multiscale Coupling

For the homogeneous macroscale model, we kept the same approach, the only difference

being the homogenization of the surface source into a volumetric source. More specifically, the

homogenized, layer-averaged gap conductance (in W/K/m3) was defined as:

h̃gap,i =

 kg,i

r1 ln
r2

r1

+
σ(T

2

1,i + T
2

2,i)(T 1,i + T 2,i)

1

ε1
+

1

ε2
− 1

r1 + r2

2r1

 2πr2nrods

Sblock
, (12)

where nrods is the number of fuel rods in the (homogenized) graphite block with cross-sectional

area Sblock. The following volumetric source was then applied to the fuel columns (excluding the

replaceable reflector layers), in addition to the convective volumetric source given by Eq. 5:

q′′′ = h̃gap,i

(
T − T 1,i

)
, (13)

where T is the local solid temperature of the macroscale model.
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III.A.4. Assessment

To assess the benefits of our proposed coupling strategy, we would ideally quantitatively

compare both the computational costs and differences in the solution (particularly the temperature

fields). Nevertheless, to rigorously do so is made complicated by the fact that the old coupling

approach is extremely slow for pseudo-transients, and thus very difficult to fully converge. More

specifically, determining the optimal time step (i.e., for the old coupling, the largest possible time

steps that preserve stability of the scheme) would be time consuming, making a perfectly fair

comparison challenging. Therefore, the scope of this section is limited to giving the orders of

magnitude of the computational gain, and not to precisely determine the achieved level of speed-

up. We also emphasize that the new, convective-based coupling does not seem to suffer from

numerical instability during the pseudo-transient—independent of time step size—whereas the

heat-flux-based coupling entails drastic stability requirements.

Because the computational cost of the old coupling is so large, comparisons were only per-

formed using the homogeneous multiscale coupling presented in Section III.A.3. The only differ-

ence between both models are the coupling terms and, for the pseudo-transient, the time-stepping

strategies and final end times. The end time for the new coupling, chosen to be 5 × 106 s, is too

long for the heat-flux-based coupling, as the maximum time step appears to be on the order of

50–100 s. Thus, we limited it to 5 × 104 s, with the understanding that the solution has not yet

reached a thermal equilibrium. Despite that, the computational cost, summarized in Table IV,

shows a runtime improvement of more than 65x. Reaching a true thermal equilibrium would thus

require several orders of magnitude more computational effort for the heat flux approach.

TABLE IV
Runtime (for one Sawtooth node [48 processors]), of the homogeneous models, using heat-flux- vs.
conductance-based coupling.

Model
Pseudo-transient

end time (s)
Steady-state
runtime (hrs)

Heat flux based 5× 104 48
Conductance based 5× 106 0.73
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III.B. Effective Radial Thermal Conductivity

For the homogeneous macroscale model to accurately represent the heat transfer through

the graphite blocks, we must account for the additional thermal resistance induced by the fuel

and CR cooling channel holes. Therefore, we desire to derive an anisotropic effective thermal

conductivity—which is to only be reduced in the radial direction—that accounts for these holes.

Common techniques include considering the various constituents as either serial or parallel thermal

resistors [3] in order to compute the effective thermal conductivity of porous media considered as

a whole. However, we only desired to compute how the holes in the graphite blocks affect the

thermal conductivity. We therefore excluded this approach and instead considered two separate

alternatives: (1) a global approach directly leveraging a semi-heterogeneous mesh to explicitly

model these holes, and (2) one relying on Maxwell’s theory, as was the case in [42]. We then

assessed both approaches by comparing them to directly using the semi-heterogeneous macroscale

model.

III.B.1. Approach

Because we were mostly interested in the radial effect inside the core, we restricted the mesh

shown in Fig. 8 to a 2-D configuration, and removed the RPV (in purple in that same figure).

Although the mesh does not currently include the inter-column gaps—which would further increase

the thermal resistance—the methodology we propose could still be applied were they to be added.

A typical method of determining the effective thermal conductivity is to impose temperatures

across a domain and then measure the heat flux flowing through it. In our case, this could be

done by imposing the temperatures at the center of the core and at the radial outer boundary of

the PR. Nevertheless, the resulting thermal conductivity accounts for the thermal resistance when

radially crossing the entire core, whereas the heat crossing the fuel cooling channels in the last

ring of fueled assemblies must skirt comparatively very few holes to reach the outer boundary of

the mesh. Therefore, this approach yields unsatisfactory results and significantly underestimates

the effective thermal conductivity.

Rather, we imposed both a uniform heat flux coming out of the fuel cooling channels as

well as the temperature on the outer boundary via a pseudo-Dirichlet BC in order to exactly

preserve the global energy balance [38], and determined the effective thermal conductivity by
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(a) 9 MW. (b) 30 MW.

Fig. 9. Steady-state block-averaged fission power density (in W/m3) for the center fuel layer.

using the measured temperature gradient. The justification for applying a uniform heat flux lies in

the relatively flat power density radial distribution shown in Fig. 9—which also corresponds to the

assumed decay heat radial distribution. The flatness of the power density radial distribution is due

to the higher fuel enrichment of the outer fuel columns (see Fig. 1). Fig. 10 shows the temperature

profile obtained by imposing a total heat flux of 250 kW and a radial outer boundary temperature

of 400 K.

We approximated the theoretical total heat flux leaving the outer boundary of the domain,

∂D, as:

Q =

∫
∂D
−k~∇T · ~ndx ≈ −2πR1Hkeff

T1 − T0

R1 −R0
, (14)

where keff is the effective thermal conductivity, H = 2.9 m is the height of the active core, R1 is

the PR outer radius, T1 is its imposed temperature, T0 is the average temperature of the blocks

containing fuel rods, and R0 is the effective inner radius, defined as:

R0 ≡
1

Nf

Nf∑
i=1

√
x2
i + y2

i ≈ 0.794 m, (15)

where Nf is the total number of fuel columns and (xi, yi) are the coordinates, in the radial plane, of
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Fig. 10. Temperature profile obtained by imposing Q = 250 kW and a radial outer boundary
temperature of 400 K.
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the center of the column of index i. We then can express the effective radial thermal conductivity

as:

keff(Q, T1) ≡ Q
2πR1H

(R1 −R0)

T0 − T1
. (16)

This quantity obviously depends on Q and T1 (since they are the BCs of the problem) and could

have a complicated dependency, given that the thermal conductivity of the graphite blocks depends

on local temperature. Specifically, the (unmodified) thermal conductivity of IG-110 graphite is

obtained by using a weighted average of the expressions at 0 and 660 EFPDs in [3], thereby

yielding, at 373 EFPDs:

k(T ) = 66.32− 4.994× 10−2 T + 1.712× 10−5 T 2, (17)

where k is in W/(K-m) and T is the local graphite temperature in K, for T between 300 and 1400

K. To preserve this dependency with respect to the local temperature, and to directly obtain a

sense of how much the thermal conductivity is reduced radially, we define the following factor:

α(Q, T1) ≡ keff

k
, (18)

where k is the average thermal conductivity over the graphite blocks and PR. We then define the

global anisotropic effective thermal conductivity of the homogeneous macroscale model as:

~~keff(T ) ≡


α 0 0

0 α 0

0 0 1

 k(T ), (19)

with α applied in the radial directions and an unchanged thermal conductivity in the axial direction.

We determined the value of α from Fig. 11, which evaluates it under steady-state conditions for

various values of Q and T1. It did not vary significantly for the typical values of Q and T1 that

we encountered during the LOFC simulations. Indeed, if we consider that Q will be on the order

of the average total decay heat during the first 5–10 hours of the transient, it would be around

100 and 250 kW for the 9 and 30 MW cases, respectively. This derivation was performed on a
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Fig. 11. Values of α as a function of Q and the permanent reflector temperature, T1, using Eq. 18.

2-D case, using a linear heat flux averaged over the height of the active fuel. However, in the 3-D

case, because heat can also be dissipated through the axial reflectors—which account for 4/9ths

of the total height—the average linear heat flux is expected to be smaller. Therefore, for the sake

of simplicity, we chose a constant value for α of 0.54 for all cases. We refer to the resulting
~~keff as

the global effective homogeneous thermal conductivity.

Another approach is to utilize the analytical expression obtained for α by using Maxwell’s

theory, as presented in [42]. If we consider empty cylinders with zero thermal conductivity in

Eq. 6.2.14 of [42], we obtain:

αAMEC =
s

2− s
, (20)

where s is the surface fraction of the graphite blocks occupied by graphite (with 1 − s being the
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fraction occupied by the holes). In particular:

αAMEC =



0.4407 , for 33-pin fuel blocks,

0.4656 , for 31-pin fuel blocks,

0.5179 , for CR blocks,

1 , for PR blocks.

(21)

We emphasize that this approach, which we call the AMEC approach, is also an approximation,

since the derivation assumes an infinite lattice of cylinders embedded in a matrix, with all the

materials having a fixed thermal conductivity—whereas we are mixing several types of assemblies

with finite dimensions and considering a temperature-dependent graphite thermal conductivity.

On the other hand, our global approach accounts for both these effects but applies a uniform value

for α (independently of the blocks).

III.B.2. Assessment of the Homogenized Solution

To assess—via both the global and AMEC approaches (i.e., using α = 0.54 and α = αAMEC

in Eq. 19, respectively)—the accuracy of the anisotropic effective thermal conductivity by using

a homogeneous macroscale model, we compared the corresponding LOFC results to the semi-

heterogeneous calculation. Were the effective thermal conductivity perfect, the results should

match exactly. Thus, in this study, the latter can be considered as the reference solution.

Fig. 12 focuses on the 9 MW results. The short- and long-term evolutions of the fission

power are shown in Fig. 12(a) and Fig. 12(b), respectively, and the corresponding average fuel

temperatures are shown in Fig. 12(c) and Fig. 12(d), respectively. Within the first few minutes,

the fission power decrease is very similar because it is primarily driven by fuel temperature feedback.

After 15 minutes or so, the differences become apparent, with the semi-heterogeneous fission power

dropping at a near-constant rate until it saturates below 10 W (due to the neutron sources),

whereas the homogeneous solutions slow down—partly because the fuel temperature is lower than

for the reference case—before reaching the same power levels, with the global effective thermal

conductivity being a little closer to the reference solution. This better agreement is even more

evident at later times, with the re-criticality time and subsequent power peak being extremely
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close, whereas the AMEC re-criticality time is about an hour early.

The 30 MW comparison is shown in Fig. 13. The main difference is that the overall heat flux

added to the graphite blocks is larger and the axial gradient a lot more significant. This time, both

effective thermal conductivities perform quite well at early times, with the fission power evolving

very similarly to that in the semi-heterogeneous case (see Fig. 13(a)). The average fuel temperature

is also quite close during the first half hour (see Fig. 13(c)), but starts to noticeably differ over the

course of several hours (see Fig. 13(d)). The re-criticality time is fairly well reproduced, but for

the global approach is still about an hour late. For the AMEC approach, it is about an hour early

(see Fig. 13(b)). However, the peak power better matches the reference value in the former case.

Overall, we obtained reasonable results for the effective thermal conductivities by using both

the global approach presented herein as well as the AMEC formula. However, we did not quite

reproduce the fine behavior of the solution, particularly in terms of temperature feedback. The

main advantage of the homogeneous approach is the significant decrease in runtime—by a factor

of about 5–8 in terms of CPU hours, as summarized in Table V—thus potentially maintaining

the appeal of this approach, particularly for computationally demanding applications such as

uncertainty quantification and sensitivity analysis.

TABLE V
Runtime with homogeneous and semi-heterogeneous macroscale models and speed-up in terms of
CPU hours.

Model
Processors

(CPU)
Steady-state
runtime (hrs)

Speed-up
Transient

runtime (hrs)
Speed-up

Homogeneous 48 0.73
8.2

17.4
5.3

Semi-heterogeneous 196 1.5 23.0

III.C. Study of Early Behavior

III.C.1. Motivation

The motivation behind this preliminary study was to understand what drives the decrease

in fission power within the first half hour of the transient. Following a LOFC event, the sudden

loss of heat removal creates a sharp reactivity decrease due to negative temperature reactivity

coefficients, and the reactor remains sub-critical for many hours. Nevertheless, some numerical

models have exhibited an early behavior inconsistent with the fission power measured data, as
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Fig. 12. Power and temperature evolution of the semi-heterogeneous approach, as compared to
those of the homogeneous approach using the global and AMEC anistropic effective thermal con-
ductivities for the 9 MW case.
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Fig. 13. Power and temperature evolution of the semi-heterogeneous approach, as compared to
the homogeneous approach using the global and AMEC anistropic effective thermal conductivities
for the 30 MW case.
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in [14].

(b) (Figure courtesy of [2].) A cyan circle has been added
to the figure to visualize the possible early re-criticality.

Fig. 14. Examples of HTTR LOFC numerical models displaying an early re-criticality (or at least
an early reactivity increase leading to a sharp curbing of the fission power decrease).

shown in Fig. 14. In particular, Fig. 14(a) shows the results obtained with a model derived from

[14], and compares the predicted fission power (in blue) to the measured one (in orange), featuring

an early re-criticality—exhibited by a small rise in power in the first 10 minutes of the transient—

that does not appear in the experimental data (see Figure 6 in [2]). Similarly, Fig. 14(b), despite

being insufficiently zoomed-in to conclude categorically whether an early re-criticality is obtained,

also displays a short stagnation of the fission power at around 1 MW, before the power resumes its

decrease and drops to a few Watts. Though we are unaware of any peer-reviewed work focusing

on this early stage of the transient, we believe it to be a very valuable area of research, since

comparison against experiments can provide a wealth of information in terms of temperature

feedback coefficients and overall rod-wise heat transfer—for which limited validation data exist (at

least regarding HTTR).

Although the experimental data do not exhibit any re-criticality or even significant slowing

in the reduction of fission power (see Fig. 14(a)), this does not mean that such a phenomenon is

inherently unphysical. In fact, such behavior has been observed in other models featuring gas gaps

between the fuel and core heat transfer media [43].
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III.C.2. Single-Rod Model

To understand which parameters affect the early behavior of the decrease in fission power, we

considered a simplified single-rod model (see Section II.D) coupled only to a point kinetics (PKE)

model, under prototypical 9 MW conditions, with the following specifications:

• A total power of 1.9 kW—corresponding to the average power per rod in the core with a

total power of 9 MW—is uniformly deposited in the fuel compact.

• Of that power, 2.5% is assumed to come from decay heat. This is roughly the average decay

heat contribution over the first 15 minutes after shutdown.

• Radial losses are deactivated to study the rapid thermal response of the fuel rod (over the

first 15 minutes or so).

• At the initial time, any heat loss via convection is removed so as to simulate a LOFC, thereby

making the rod thermally insulated.

• The PKE parameters, as described in Table VI and estimated by Griffin with the semi-

heterogeneous multiscale and multiphysics model presented in Section III.A.2, are assumed.

• The fuel and moderator reactivity coefficients are input parameters.

• Xenon decay is neglected, as its impact generally only becomes significant over the course of

several hours.

TABLE VI
PKE parameters used in the single-rod model. λi and βi are the decay constants and delayed
neutron fractions, respectively. Λ is the mean generation time.

Delayed Group λi (s−1) βi (pcm) Λ (s)
1 1.3338× 10−2 23.4 9.384× 10−4

2 3.2724× 10−2 120.7
3 1.2081× 10−1 115.7
4 3.0315× 10−1 259.9
5 8.5107× 10−1 107.8
6 2.8583× 100 45.1

Sum 672.6

In terms of reactivity coefficients, we selected the values based on Table II and the typical

9 MW steady-state temperature fields—namely, αf ≈ −6 and αm ≈ −5.7 pcm/K for the fuel and
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moderator feedback coefficients, respectively. We also perturbed them to assess what generally

causes re-criticality.

Fig. 15 shows the fission power, fuel/moderator temperatures, and total reactivity as a func-

tion of time for four combinations of (αf , αm). In all cases, the fuel temperature rapidly increases

until the heat source decreases to levels lower than what is transferred to the graphite sleeve and

block. At that point, the fuel temperature starts dropping, eventually reaching levels lower than

the initial temperature, thereby adding positive reactivity. In the meantime, the graphite temper-

ature also increases, thus also adding negative reactivity. The combined effect is what determines

whether re-criticality can occur. It is therefore no surprise that the total reactivity reaches larger

values when αf is larger (in magnitude) and αm is smaller (in magnitude). For the nominal condi-

tions (αf = −6 and αm = −5.7 pcm/K), the reactivity curve peaks at around -115 pcm at about

500 s. If αf is doubled or αm halved, the power decrease slows down after around 200 s—close

to the time at which the fuel temperature falls below its initial value—and the total reactivity

exceeds -50 pcm. If both effects are combined (αf = −12 and αm = −2.9 pcm/K), the fission

power plateaus for more than a minute before decreasing again, and almost reaches re-criticality

(total reactivity exceeding -13 pcm after 6 minutes).

To achieve close agreement with the experimental fission power evolution, the quantity

αf∆Tf + αm∆Tm, where ∆T = T (t) − T (0), must be closely reproduced. Therefore, if either

reactivity coefficients αf or αm are wrong, and/or if the heat transfer is not properly predicted

(i.e., ∆Tf and ∆Tm), whether by the PKE or the Griffin model, the power will decrease at a dif-

ferent rate (assuming the kinetics parameters were accurately captured). Since the experimental

data do not include in-core temperatures and JAEA has not yet provided the measured reactivity

coefficients, this early behavior represents an alternate way of validating these quantities in an

integrated sense.

IV. LOFC SIMULATION RESULTS

This section details our most accurate results to date, achieved using the semi-heterogeneous

macroscale model and the new coupling method presented in Section III.A.
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Fig. 15. Early behavior of a single fuel rod, following a loss of convective cooling for different
values of the fuel and moderator feedback coefficients (αf and αm, respectively, in pcm/K).
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(a) 9 MW (b) 30 MW

Fig. 16. Steady-state graphite and RPV temperature distribution (in K).

IV.A. Steady-State Solutions

Fig. 16 shows the steady-state temperature distributions from the semi-heterogeneous full-

core heat transfer model for the 9 and 30 MW transients. We also assess the steady-state numerical

solution in terms of the initial multiplication factor.

In particular, the multiplication factors (see Table VII) should theoretically be very close to

1 at the beginning of the transient (and exactly 1 if no neutron sources were present). The 9 and 30

MW coupled steady states are about 1,260 and -370 pcm off. Given the large overall uncertainty

(on the order of 700–1000 pcm [1]), which mostly stems from graphite impurities, this seems quite

acceptable.

TABLE VII
Multiphysics steady-state multiplication factors in the semi-heterogeneous macroscale model.

Power (MW) keff

9 1.01258
30 0.99629
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IV.B. 9 MW LOFC Post-experiment Predictions

Next, we compare our model to the experiment for the 9 MW LOFC. Fig. 17 gives the

evolution of the numerical fission and decay powers over time, and allows for comparing the former

to the experimental data, whether for short or long durations. The fission power drops from the

initial 8.43 MW to about 4 W (i.e., by more than six orders of magnitude) in about an hour,

following the same trend seen in the experimental data, albeit with some anticipation, indicating

an overall reactivity feedback that is too negative. After about an hour, the neutron flux stops

decreasing and is mostly driven by spontaneous fission from the Cf-252 neutron sources, as the

core remains in a subcritical configuration. Simple point kinetics theory predicts the steady-state

flux (and power) in a subcritical configuration with external sources to be inversely proportional to

(1−keff), where keff is the multiplication factor. It is therefore unsurprising to see the power slowly

increase as the reactivity becomes less and less negative. During that phase, the residual decay

heat is the only remaining significant heat source. As the core cools down and the Xe-135 decays,

positive reactivity is slowly added to the core until re-criticality is reached. The current simulation

predicts a re-criticality time of 4 hours and 43 minutes, and a subsequent power peak at 6 hours

and 28 minutes after the initial accident, while the measurement indicates 6–7 hours [2] and around

8 hours, respectively. The experimental value for the first fission power peak after re-criticality is

around 275 kW [3], whereas the predicted value is about 112 kW, with an additional 67 kW from

decay heat. Underestimation of that power peak also suggests the temperature feedback to be

too negative. At that point, power oscillates until the total power matches the power removed by

the VCS. As such, the fission power continues to slowly increase to compensate for the long-term

decrease in decay heat. Underestimation of the fission power over longer durations (t > 10 hours)—

a value that should be around 150–200 kW after 12 hours [2]—suggests that the VCS model does

not remove enough heat.

Fig. 18 displays the fuel and moderator average temperatures predicted throughout the

transient. The average fuel temperature rapidly increases from 617 to 636 K in the first minute,

which is the main reason why the fission power drops so sharply (at that point, by more than

70% of its initial value). The amount of heat deposited in the fuel compact is then too low to

prevent the fuel temperature from eventually decreasing. Less than 3 minutes after the transient

begins, it drops below its initial value and stabilizes at around 577 K after 20–30 minutes. Then
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Fig. 17. Evolution of the heat sources (fission and decay power) for the 9 MW LOFC transient.

it remains mostly constant, reaching around 568 K when the fission power again rises shortly after

re-criticality. In the meantime, the average graphite block temperature slowly increases from 522

to about 534 K, where it mostly plateaus until the fission power once again becomes significant.

As the core approaches a new thermal equilibrium (for t > 12 hours) and the fission power rise

is very slow (only to compensate the equally slow decrease in decay heat), the temperature of the

core increases gradually, adding negative reactivity that counteracts the positive reactivity added

by xenon decay.

Fig. 19 gives a better understanding of the total and xenon reactivity during the transient.

Initially, the behavior of the core is driven by temperature effects, with both moderator and

fuel average temperatures increasing, yielding a total reactivity of almost -215 pcm. As the fuel

temperature decreases faster than the moderator heats upb, the total reactivity starts increasing

again after 1–2 minutes, and is driven back to negative values by the xenon buildup. After a

few hours, the total reactivity curve remains above that of the xenon, indicating that from that

point until much later on, the reactivity due to temperature is positive. This result is mostly

consistent with the reactivity results of the JAEA numerical model, reproduced in Fig. 20. In fact,

the average fuel and moderator temperatures that can be inferred by taking the opposite of the

bNote also that the moderator reactivity coefficient is not as negative as that of the fuel.
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Fig. 18. Evolution of the average fuel and graphite block temperatures for the 9 MW LOFC
transient.

temperature-driven reactivity curves in Fig. 20 show a behavior that, during the sub-critical phase

of the transient, is very similar to the behavior seen in Fig. 18.

IV.C. 30 MW LOFC Pre-experiment Predictions

Finally, we present our current pre-experiment predictions for the 30 MW LOFC. The main

difference between this test and the 9 MW LOFC case is that the core is initially operated at 30

MW, leading to a much larger axial temperature gradient: namely, on the order of 110 K/m for

the radially averaged fluid and moderator temperatures, as compared to about 30 K/m for the 9

MW steady-state configuration. The other difference is that no experimental data are currently

available, as the test is planned to be performed in the near future.

Fig. 21 gives the evolution of the numerical fission and decay powers over time. The fission

power drops from the initial 28 MW to just a few W (i.e., by almost eight orders of magnitude) in

the first 40 minutes, then stabilizes at around 0.5 W. The reason it reaches a lower value than for

the 9 MW case is that the neutron sources are assumed to be older (6 vs. 4 years old), as shown

in Table III. The current simulation predicts a re-criticality time of 9 hours and 35 minutes, and

a subsequent power peak at 11 hours and 10 minutes after the initial accident. The fission power
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Fig. 19. Evolution of the xenon and total reactivity for the 9 MW LOFC transient.

Fig. 20. 9 MW LOFC reactivity evolution predicted by the JAEA numerical model. (Picture
courtesy of [2].)
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Fig. 21. Evolution of the heat sources (fission and decay power) for the 30 MW LOFC transient,
along with the measured fission power.

peak after re-criticality is projected to be about 630 kW, with an additional 183 kW from decay

heat.

Fig. 22 displays the fuel and moderator average temperatures measured throughout the

transient. The average fuel temperature increased from 1198 to 1218 K in the first 30 seconds,

rapidly lowering the fission power (at that point, by about 50% of its initial value). The amount

of heat deposited in the fuel compact was then too low to prevent the fuel temperature from

eventually decreasing. About 100 s after the beginning of the transient, the temperature returned

to its initial value, briefly plateauing at around 1096 K, when the power drop was slightly slower.

It then resumed its decrease, this time almost linearly until reaching re-criticality, at which point

the average fuel temperature had almost reached 1006 K. In the meantime, the average graphite

block temperature increased from 910 K to a maximum of about 947 K at around 1 hour, before

decreasing to about 900 K. After re-criticality, both the fuel and moderator temperatures gradually

increased to compensate for the positive reactivity added by xenon decay.

Fig. 23 shows the evolution of the total and xenon reactivity during the transient. As in

the 9 MW case, the total reactivity rapidly increases after reaching a local minimum of -183 pcm

within the first minute; it then reaches around -100 pcm before dropping again, driven by the
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Fig. 22. Evolution of the average fuel and graphite block temperatures for the 30 MW LOFC
transient.

xenon reactivity. Nevertheless, the xenon peak is a lot more pronounced, with a minimum induced

reactivity of -630 pcm, as compared to -110 pcm for the 9 MW case.

Overall, the predicted transient behavior is very comparable to that of the 9 MW case, with

a significantly later re-criticality time and a larger power peak. This difference is mostly driven by

the much larger xenon peak, but also by the slower cooling of the core, with the reactivity due to

the fuel and moderator temperatures not becoming significantly positive until almost 5 hours into

the transient (as compared to less than 1 hour for the 9 MW simulation). The experimental data

for the upcoming test will be of great interest in further assessing this transient prediction.

V. CONCLUSION

In summary, we have presented several improvements to a multiphysics, multiscale model

simulating past and future HTTR LOFC experiments, using a 3-D full-core SPH-corrected Griffin

input for neutronics, macroscale and pin-level heat transfer BISON models and thermal-hydraulics

RELAP-7 channels. We proposed a new approach for coupling the macroscale and pin-scale mod-

els, relying on the HTC and gap conductance to drastically speed up the numerical convergence

in comparison to using heat fluxes. While the latter imposes drastic stability conditions on the
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Fig. 23. Evolution of the xenon and total reactivity for the 30 MW LOFC transient.

time step size, the former does not seem to suffer from any restriction other than time discretiza-

tion error, thus yielding the steady-state solution about two orders of magnitude faster. We then

derived a radial effective thermal conductivity for use with a homogeneous macroscale model and

compared it to a semi-heterogeneous model, with all the holes being explicitly represented, ulti-

mately producing similar results in terms of general behavior—for a fraction of the computational

cost. Given the persisting differences in the temperature feedback, this approach can be seen as a

lower order approximation that could be attractive for repeated calculations such as those needed

for uncertainty qualification and sensitivity analyses. Next, we studied the early behavior of the

reactor following a LOFC event in order to further leverage fission power measurements to vali-

date numerical models, and showed the importance of reactivity feedback at early times. Lastly,

we presented our latest numerical simulations for the post- and pre-experiment (9 and 30 MW,

respectively) LOFC experiments, but are fully aware that the uncertainty in the results remains

large, partly because the in-core validation data are mostly limited to fission power measurements,

and also because reactivity coefficients are currently unavailable.

Before further improving the numerical model, it will be important to quantify the un-

certainty in our results. In the near term, we plan to conduct an uncertainty quantification and

sensitivity analysis preliminary study to assess the impact of various parameters on the main quan-
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tities of interest in this transient—namely, early behavior (including maximum fuel temperature),

re-criticality time, and the subsequent power peak.
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F. N. Gleicher, and M. D. DeHart, “Validation of the Griffin application for TREAT

transient modeling and simulation,” Nuclear Engineering and Design, 385, 111478 (2021);

https://doi.org/10.1016/j.nucengdes.2021.111478., URL https://www.sciencedirect.com/

science/article/pii/S0029549321004301.
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